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Abstract. The fire performance of shear connections is essential to maintain a composite 
action in composite beams, for which studies have previously focused on solid slab structures. 
Despite the popularity of profiled steel sheeting in modern construction, the behaviour of shear 
studs embedded in transverse deck slabs still needs to be confirmed under elevated 
temperatures. High-temperature push-out tests were conducted according to the ISO 834 
standard fire condition with customised electric furnaces, which showed a failure mode 
transition with rising temperature. A three-dimensional thermomechanical numerical model 
was developed and compared with the experimental results for verification. A parametric study 
revealed that the shear connections were primarily influenced not by the deck thickness or stud 
welding method but by the temperature distribution, especially around the stud root area. 
Eurocode 4 utilises a thermal degradation factor as well as shear resistance at ambient condition 
to calculate the load-bearing capacity at fire condition, resulting in a highly conservative 
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estimation. A better prediction was achieved by omitting the deck reduction factor for stud 
shearing failure. A new design formula that considers the failure mode transition is thus 
proposed for a concrete-dominated failure.
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1. Introduction
Steel and concrete composite structures are widely used in the UK and comprised 66% of 
the multi-storey non-residential building market in 2016 [1] because of their many advantages 
such as large span length, small floor depth, and high stiffness. The material merits are 
maximised by composite action, which is achieved by shear connections between the steel 
beams and concrete slabs. A shear connector is a critical component that decides the load-
bearing capacity of a composite structure. Composite beams that use a concrete slab with 
profiled steel sheeting are commonly utilised in modern construction because the rib deck can 
be used as a platform for stud welding as well as formwork during concrete casting.
When a supporting beam is oriented in a direction transverse to a trapezoidal deck slab, the 
shear resistance decreases with regard to deck geometry. Fisher [2] and Grant et al. [3] reported 
that the shear resistance shows a linear relationship with the dimensional parameter of the deck 
width to depth; the shear resistance is smaller for a deep deck than wide deck. Several design 
codes such as AISC360-10 [4] and EC4-1-1 [5] have adopted a configuration factor as the deck 
reduction parameter to calculate the shear resistance. Qureshi et al. [6] conducted a numerical 
study to investigate the effects of the stud welding location in a trough and deck thickness on 
the shear connection. When a headed shear stud was welded in an unfavourable position, the 
shear resistance increased linearly with deck thickness. Conversely, the effect of the deck 
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thickness decreased when the stud location was moved to a favourable position in the rib deck 
because the failure mode changed from rib punching to concrete pull-out. Numerous 
experimental and numerical studies have been conducted regarding the characteristics of shear 
connections in ambient conditions [7-10]. However, to the best of our knowledge, few 
researchers have addressed the effect of temperature on shear connections, especially with 
regard to a transverse deck.
The behaviour of headed shear studs under fire condition was initially evaluated by Zhao 
and Kruppa [11] through high-temperature push-out tests. They observed stud shearing and 
concrete rib cracking simultaneously in their experiment on transverse deck specimens. 
However, they only tested two specimens. Mirza et al. [12] carried out push-out tests to 
evaluate the shear resistance degradation of solid and transverse deck slabs at high temperatures. 
Stud shearing occurred near the weld collar in the solid slab specimens, while concrete-
dominated failure was observed in the transverse deck specimens. The decrease in the load-
bearing capacity of the shear connection from ambient temperature to 600  was 34% in the ℃
solid slab specimen and 41% in the transverse deck specimen. They argued that these 
differences in strength reductions were because of different failure modes depending on the 
concrete slab type. Chen et al. [13] conducted experimental and numerical studies on six 
specimens incorporating a transverse deck slab at both ultimate limit state (ULS) and fire limit 
state (FLS). They attached customised heating plates to each specimen, and loading was 
applied when the stud temperature was increased to a designated value measured 10 mm above 
the bottom end of the shear stud; this was because the gas temperature of the experimental 
setup was different from the ISO 834 standard fire condition [14]. The failure mode changed 
from concrete rib shearing to stud shearing as the stud temperature increased. All observed 
failure modes were for stud shearing when the stud temperature exceeded 500 . The shear ℃
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resistance was reduced by 31% at a stud temperature of 600  compared with the ULS value. ℃
Differences in strength reductions were observed in comparison to the experimental results of 
Mirza et al. [12]. 
The analytical calculation method for shear resistance in the current EC4-1-2 [15] is based 
on push-out tests with a solid slab specimen [11]. The previous experimental and numerical 
studies showed different trends for shear resistance in transverse deck applications at high 
temperatures; one was smaller and the other was larger than the Eurocode guidance [12, 13]. 
Therefore, the capacities of shear connections at high temperatures for a transverse deck slab 
need to be verified. In this study, push-out tests at both ULS and FLS were conducted, and the 
results were used to validate three-dimensional thermomechanical finite element models. The 
influences of the deck thickness and welding method on the shear resistance at FLS were 
considered through parametric studies.
2. Experimental programme
2.1 Specimens and test setup
The standardised push-out test described in Eurocode is specialised for a solid slab 
composite beam. It does not provide guidance for a trapezoidal deck specimen and high 
temperature conditions. Hicks [16] recommended a trapezoidal deck specimen with increased 
width and height of the concrete slab size from 600 mm  650 mm to 750 mm  1050 × ×
mm while maintaining the same depth of 150 mm to avoid cracking at the side section of the 
concrete rib during concrete pull-out failure. This recommendation was followed in the present 
experiment incorporating Multideck 60-V2, as specified in Fig. 1. The headed shear stud was 
placed in a favourable position by through-deck and through-hole welding with an automatic 
welding machine; through-deck welding was applied to a 1.2 mm deck, and through-hole 
5
welding was adopted to a 0.9 mm deck with a 34 mm diameter hole at the stud location. The 
diameter of the stud shank was 19 mm, and its height was 100 mm. An 1100-mm-long H-beam 
with dimensions of 350 mm × 350 mm and a unit weight of 156 kg/m was used as the steel 
section. A 10 mm diameter ribbed bar was placed on the deck shoulder for reinforcement. Table 
1 and Fig. 2 present the detailed specifications of the designed specimen.
Fig. 1 Dimensions of the trapezoidal deck (Multideck 60-V2, dimensions in mm) 
For the FLS testing, a customised electric furnace was prepared in accordance with the 
configuration of the push-out test specimen. Two furnaces were attached to each side section 
of the specimen, and insulation material was applied at the top and bottom surfaces of the 
specimen to maintain the heating condition. The ISO 834 standard fire condition was 
successfully demonstrated, which was verified by measuring a gas temperature at the inner 
space between the specimen and furnace.




























Fig. 2 Dimensions of the push-out test specimen (dimensions in mm)
2.2 Materials
Three tensile test coupons were made from the shank part of the headed shear stud. The 
measured average yield and ultimate stresses were 415 MPa and 473 MPa, with an elongation 
of 25%. A cylindrical specimen of 100 mm in diameter and 200 mm in length was prepared to 
evaluate the compressive strength of the concrete slab. Portland cement type Ⅰ and Portland 
blast-furnace slag cement type Ⅱ with the maximum aggregate size of 25 mm was used, which 
is composed of cement (360 kg/m3), water (162 kg/m3), fine aggregate (835 kg/m3), coarse 
aggregate (914 kg/m3) and admixture (40 kg/m3). It was cured at the same condition as the 
push-out test specimen and tested on the first day of the experiment. The average concrete 
cylinder compressive strengths ( ) of the 1.2 mm and 0.9 mm deck specimens were 51 MPa 𝑓𝑐𝑚
and 32 MPa, respectively. Concrete properties such as the characteristic compressive stress, 
tensile stress, and elastic modulus were calculated with reference to EC2-1-1 [17]. The yield 
stresses of the trapezoidal deck and rebar were 350 MPa and 400 MPa, respectively. The yield 
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and ultimate strengths of the steel beam were 345 and 490 MPa, respectively.
2.3 Test procedure and instruments
The push-out test procedure at ULS followed the Eurocode guidance, which provides a 
cyclic loading phase and load measurement range. After the initial cyclic loading, a 
displacement load was applied to the top of the steel beam until the induced load decreased by 
20% of the maximum experienced load. The induced load and slippage were achieved with this 
procedure. For the push-out test at FLS, a constant load was initially induced during the entire 
heating process following the ISO 834 standard fire condition. The constant load was set to 20% 
to 60% of the calculated shear resistance by EC4-1-1 [5]. Although the fire exposure time and 
slippage were recorded, this procedure closely simulates a fire condition.
The load-bearing capacity, displacement, and temperature were measured during the push-
out tests. The load was applied to the top of the steel beam through a square plate swivel jig 
which was connected to an actuator with a maximum capacity of 2500 kN. Linear variable 
differential transformers (LVDTs) were installed to measure the displacement variations in the 
vertical and lateral directions, as illustrated in Fig. 3. The relative displacements between the 
swivel jig and concrete slab were obtained with LVDT 1 and 2. The web and flange 
temperatures were measured with a k-type thermocouple that was welded to the steel beam; 
the location details are presented in Fig. 2. The k-type thermocouple was also installed at the 
concave area between the electric furnace and specimen deck to collect the gas temperature.
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Fig. 3 Furnace and LVDT installations for the high-temperature experiment
3. Experimental results
3.1 Temperature distribution
The fire situation was established according to the specification of the ISO 834 standard 
fire. The gas temperature rapidly increased initially and then gradually after approximately 10 
min of heating. As shown in Fig. 4, the gas temperatures are strongly correlated with the ISO 
834 fire curve. The temperature distributions of the web and flange also show similar trends 
regardless of the welding method and deck thickness.
Fig. 4 Temperature distributions at high-temperature push-out tests
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3.2 Shear resistance
Two types of specimens were used to investigate the stud behaviour at ULS with the 1.2 
mm and 0.9 mm trapezoidal decks, and their average resistances were 129 kN and 87 kN. The 
results of the push-out test showed similar shear resistances, whereas the slip at the peak load 
differed. This slip difference may have been due to the heterogeneous properties of concrete 
because the same failure mode of concrete pull-out was observed in all the push-out tests.
A negative slip was observed in the high-temperature push-out test, which indicates that the 
force caused by thermal expansion was greater than the applied load. The negative slip 
constantly increased from the beginning of the heating process and gradually decreased around 
the maximum negative slip. The slip value rapidly changed from the negative to the positive 
direction at fracture accompanied by stud shearing failure.
Table 2 compares the collected shear resistances with the analytical calculations of EC4-1-
1 [5]. The characteristic shear resistance ( ) was calculated to have a 10% reduction from 𝑃𝑒,𝑅𝑘
the minimum experimental value. Eurocode [5] was observed to conservatively estimate this 
shear resistance because the characteristic strength formula includes a scattering factor to 
consider deviations among available experimental data, based on the statistical study by Roik 
et al. [18].
Table 2 Comparison of the shear resistances at ULS







1 = 450 MPa for the calculation of a trapezoidal deck𝑓𝑢,𝑚𝑎𝑥
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Table 3 presents the strength reduction factors obtained from the experiments compared 
with EC4-1-2 [15], which gives a highly conservative value. A more conservative estimation 
is shown when the shear resistance at ULS is comparatively small since the deck reduction 
factor is applied regardless of the failure mode. The analytical calculation of the strength 
reduction shows an over 2-fold difference in the 0.9 mm through-hole welded specimens (T2H 
series). For example, the shear resistance of the T2H-1 specimen was reduced to 35% and 14% 
of the ULS value in the experiment and EC4-1-2 [15], respectively. 




Stud temp.1 [ ]℃ / 2𝑃𝑒𝜃 𝑃𝑒 / 3𝑃𝐸𝐶4,𝑅𝑘,𝜃 𝑃𝐸𝐶4,𝑅𝑘
T1H-1 20 81 761.3 0.16 0.13
T2H-1 30.4 78.1 743.4 0.35 0.14
T2H-2 30.4 76.8 736.9 0.35 0.15
T2H-3 45.6 56.6 677.1 0.52 0.23
T2H-4 45.6 64.1 691.8 0.52 0.20
192% of the flange temperature was used based on the thermal analysis
2average value of the shear resistance at ULS (= 129 kN for 1.2 mm deck and 87 kN for 0.9 mm deck)
3according to the stud shearing failure of the EC4-1-2 (2014)
3.3 Failure modes
The observed failure modes at ULS and FLS were completely different. Concrete pull-out 
failure was observed at ULS, whereas stud shearing failure occurred at FLS. Considering the 
heat path and thermal conductivity of steel and concrete, a stud root area exhibited a higher 
temperature than the adjacent concrete rib. The higher thermal degradation caused by the 
temperature gradient resulted in this failure mode transition.
Concrete cracking was observed around the shear stud at the cutting plane of the specimen, 
as shown in Fig. 5(a). The shear resistance is decided by the concrete cracking stress arising 
from the moment of the concrete rib at ULS. The crack initiates from the deck stiffener to the 
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other side of the deck shoulder through the stud head, which means that the area of the cracking 
surface is affected by the configuration of the deck stiffeners in a modern trapezoidal deck. 
At FLS, shearing occurred at the bottom of the weld collar in the upper-level stud (stud 1 in 
Fig. 5(b)), and the steel flange was peeled off the lower-level stud (stud 2). This implies that 
the strength of the steel material near the stud root area decides the shear resistance in a fire. 
As presented in Fig. 6, the shearing failure at the interlayer between the steel flange and bottom 
of the shear stud was also observed in the 0.9 mm through-hole welded specimen.
(a) Concrete pull-out failure at ULS (T1-1)
(b) Stud shearing failure at FLS (T1H-1)
Fig. 5 Failure mode of the 1.2 mm deck specimens
Fig. 6 Stud shearing failure of the 0.9 mm deck specimen at FLS (T2H-1)
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4. Finite element model
4.1 Thermal model
An eight-node linear brick element (DC3D8) was selected for the steel beam, concrete slab, 
and shear stud. A four-node quadrilateral shell element (DS4) and two-node link element 
(DC1D2) was used for the deck and reinforcement, respectively. A finer mesh was assigned to 
the shear stud and concrete rib because a failure occurred around that area. Material properties 
such as the density, specific heat, and thermal conductivity were taken from EC4-1-2 [15]. The 
concrete moisture was expressed with the LATENT HEAT option in Abaqus, and a 5% 
moisture content was assumed. When the latent heat of the water vapour was 2.26 MJ/kg, 
overall evaporation energy of 11.3 × 104 J/kg was assumed to apply between 95 and 105   ℃
for stable calculation.
The push-out test specimen had several contact surfaces, and the applied heat was 
transferred through the contacting layers. The heat conduction rate depends on the geometry 
and deformation around the contact surfaces because of the different thermal expansion rates, 
spalling, and moisture evaporation [19, 20]. Ghojel [19] carried out an experimental study on 
the thermal conductance at a steel and concrete interface with a concrete-filled tubular column. 
The measured contact conductance showed a broad range of 40–225  at 25  at the W/𝑚2𝐾 ℃
measurement locations, and its value decreased slightly as the temperature increased. Different 
thermal conductance values within the above range were used depending on the specimen type 
because the concrete strength and curing conditions of the specimens were different.
Heat flux was applied by convection and radiation through the inner sides of the concrete 
slab and steel beam. A convection coefficient of 25  was adopted because the W/𝑚2𝐾
specimen was subjected to the ISO 834 standard fire. A configuration factor was incorporated 
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to calculate the resultant emissivity according to the geometry of the push-out test setup. The 
emissivity of the fire and structural member was defined as 1 and 0.7, respectively, based on 
EC4-1-2 [15]. The developed thermal model was validated against the measured temperature 
according to the fire exposure time. A strong correlation was obtained at both the web and 
flange temperatures, as plotted in Fig. 7.
(a) T1H model (1.2 mm deck) (b) T2H model (0.9 mm deck)
Fig. 7 Verification of the thermal models
4.2 Structural model
An eight-node linear brick element with reduced integration (C3D8R) was used for the 
concrete slab, steel beam, and shear stud for accurate estimation. The trapezoidal deck was 
modelled with a four-node doubly curved thin-shell element with reduced integration (S4R). 
The reduced integration option decreased the computational cost and chance of shear locking. 
Rebar was placed in the concrete slab with a two-node linear three-dimensional truss element 
(T3D2) using the embedded option available in Abaqus, where the translational movement of 
the reinforcement node was assumed to be equal to the interpolated values of the corresponding 
nodes within the concrete slab.
Fig. 8 provides the finite element model with the loading surface and boundary conditions. 
Because of the quarter-symmetry calculation, the web of the steel beam (Surface 1) was 
restricted to move in the y-direction. The concrete slab, shear stud, steel beam, and transverse 
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deck (Surface 2) were confined to move in the x-direction. The bottom of the concrete slab 
(Surface 3) was also restrained in the z-direction. A displacement load was slowly applied at 
the loading surface to allow quasi-static analysis with a dynamic explicit solution. The slip 
behaviour could be determined beyond the maximum shear resistance because it was 
unconditionally stable in the nonlinear analysis. A loading rate of 0.2 mm/s was used based on 
the calculated natural frequency of the specimen and sensitivity analysis.
A general contact algorithm was used for all contact layers, while different contact 
properties were assigned. A penalty friction formulation was used for tangential behaviour. 
The friction coefficient between the steel and concrete is affected by experimental conditions 
such as the roughness of the surface, moisture content of the concrete, and contamination of 
the surface. Baltay and Gjelsvik [21] reported the friction coefficient at the interface of a steel 
plate and concrete block to be 0.47 with a nominal force range of 0–468 MPa. In the present 
study, a friction coefficient of 0.47 was used for the interlayers between the stud and 
surrounding concrete as well as between the trapezoidal deck and concrete slab. A friction 
coefficient of 0.2 was assumed at the bottom of the deck and steel flange. The generated friction 
force at the bottom of the concrete slab (Surface 3) was also considered with a friction 
coefficient of 0.15. A hard contact method was used for the nominal behaviours of all contact 
layers except the concrete slab interfaces, for which a scale factor option available with the 
general contact method was adopted to control contact overclosure and stiffness.
To illustrate the through-deck welded shear stud, a tie option was used between the bottom 
of the stud shank (including the weld collar) and steel flange. The side section of the weld 
collar was also attached to the deck hole, which had the same diameter as the weld collar. The 
bottom of the stud shank was only tied to the steel flange in the case of the through-hole welded 
model.
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Fig. 8 Boundary conditions of the finite element model
Concrete nonlinear behaviour was simulated with a concrete damaged plasticity (CDP) 
model, which had four parameters to illustrate the failure surface in a multiaxial stress state. 
Those parameters were calculated with the equi-biaxial compressive stress ratio, deviatoric 
stress ratio (between the tensile and compressive meridian), and uniaxial compressive stress–
plastic-strain relationship. A different dilation angle and deviatoric stress ratio were used 
depending on the concrete strength; values of 42° and 0.67 were used for 1.2 mm deck 
specimen, 50° and 0.75, for 0.9 mm deck specimen. The recommended values for Abaqus [22] 
were adopted to other plasticity parameters at ULS modelling: the eccentricity (0.1), equi-
biaxial compressive stress ratio (1.16) and viscosity (0). Temperature-dependent plasticity 
parameters were incorporated for high-temperature applications based on the plasticity 
parameters at ULS according to a previous numerical study [23]. The elastic modulus was 
calculated based on the measured compressive strength of the cylindrical concrete specimen 
with respect to EC4-1-2 [15], and Poisson’s ratio at ULS was taken as 0.2.
The uniaxial compressive stress-strain curve and its corresponding damage function were 
needed to determine the cohesion stress and stiffness degradation in the CDP model. Because 
the compressive stress-strain relationship of EC4-1-1 [5] ends abruptly after the peak stress, 
the stress-strain curve recommended by EC4-1-2 [15] was used for the softening region at ULS. 
16
This relationship was also employed for high-temperature applications in both the ascending 
and descending parts. When the compressive stress was defined as less than a particular strain 
value, the CDP model used the same corresponding stress value beyond the specified strain 
value. This led to higher cohesion stress in the deviatoric stress calculation. For this reason, the 
compressive stress-strain curve was defined to have a higher strain value of 0.1 to obtain an 
accurate estimation and maintain calculation stability. An exponential function was used for a 
compressive damage development; refer to Lubliner et al. [24]. Typical damage values at the 
peak stress were 0.3–0.4 for the uniaxial and biaxial compressive states [25, 26], whereas no 
stiffness degradation was observed in the highly confined triaxial compressive state in an 
experimental study by Poinard et al. [27]. The concrete beside the shear stud withstands around 
nine times the uniaxial compressive stress in the push-out test [28]. Thus, a damage value of 
0.16 was assumed at the peak compressive stress for the numerical model.
The uniaxial tensile behaviour was regarded to have linear ascending and nonlinear 
descending parts, which can be expressed as an exponential function with material constants 
and fracture energy. The following relationship was used for the tensile softening function 
based on the statistical study by Hordijk [29]:
𝜎𝑡
𝑓𝑡
= [1 + (𝑐1 𝑤𝑤𝑐)
3]𝑒𝑥𝑝( ‒ 𝑐2 𝑤𝑤𝑐) ‒ 𝑤𝑤𝑐(1 + 𝑐31)𝑒𝑥𝑝( ‒ 𝑐2) (1)
where  is the tensile stress [MPa],  is the peak uniaxial tensile stress [MPa],  is the 𝜎𝑡 𝑓𝑡 𝑤
cracking opening distance [mm], ,  is the fracture energy [N/mm], and  𝑤𝑐 = 5.14𝐺𝑓/𝑓𝑡 𝐺𝑓 𝑐1
and  are the material constants 3 and 6.93, respectively.𝑐2
The concrete fracture energy was taken from CEB-FIB90 [30], and its temperature-
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dependent values were referenced from an experimental investigation by Zhang and Bicanic 
[31]. The tensile strength and its thermal degradation ratio were calculated with EC2-1-2 [32]. 
The maximum crack opening distance at high temperatures was assumed to be 0.2 mm because 
concrete cannot withstand a tensile load when the critical crack length is exceeded. The tensile 
damage was defined as a function of the reduced stress from the peak tensile strength: 𝑑𝑡 = 1 ‒
. The tensile damage also increased exponentially because of exponential softening 𝜎𝑡/𝑓𝑡
behaviour.
The von Mises criterion was used for the nonlinear behaviour of steel materials such as the 
shear stud, steel beam, trapezoidal deck, and rebar. The yield and ultimate stresses were taken 
from the experimental data and design values specified in Section 2.2. The stress and elastic 
modulus of the structural steel decreased with increasing temperature. These variations were 
incorporated into the developed model based on the stress-strain relationships from EC3-1-2 
[33]. To illustrate the stress reduction after the onset of damage, the stress triaxiality reported 
by Lemaitre [34] was used together with a ductile damage function. The damage function of 
the shear stud was calibrated with the tensile test data of the stud material. The same ductile 
damage function was used for all temperature ranges because the stress reduction initiates from 
the same strain value regardless of the temperature according to EC3-1-2 [33].
The developed finite element model was verified against the experimental results; they 
showed considerable agreement in terms of the shear resistance, slip capacity, and failure mode 
as plotted in Fig. 9. The failure mode observed in the experiment was concrete pull-out, which 
induced a concrete crack around the rib. When the tensile damage contour at the maximum 
shear resistance of the numerical model was examined, a cone-shaped crack was found as 
shown in Fig. 10. Greater tensile damage was observed around the lower-level stud (stud 2), 
and relatively little tensile damage was found between the upper-level stud and adjacent deck 
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shoulder. This cracking behaviour coincided with the experimental investigation provided in 
Fig. 5(a). The same cause of failure was achieved in the through-hole welded specimen model. 
Moreover, the concrete crushed area at the bottom area of the stud shank was more significant 
in comparison to that of the through-deck welded model.
(a) T1 model (1.2 mm through-deck welded 
model)
(b) T2 model (0.9 mm through-hole welded 
model)
Fig. 9 Verification of the structural models
Fig. 10 Tensile damage contour at the peak load (T1 model)
4.3 Thermomechanical model
The developed thermal and mechanical models were combined to evaluate the structural 
performance of the shear studs at FLS. A constant load was initially induced to a loading 
surface, and a fire load was applied in accordance with the ISO 834 standard fire condition 
until failure occurred based on the experimental procedure. Nodal temperature data were 
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assigned to the mechanical model with regard to the exposure time to the ISO 834 standard 
fire. The incorporated temperature value not only created thermal stress but also was used to 
define the thermal degradation of the materials. The thermal elongation properties of steel and 
concrete were taken from EC4-1-2 [15].
The slip variation according to the fire exposure time was collected from the high-
temperature push-out test model. The numerical results agreed with the experimental data, as 
presented in Fig. 11: a negative displacement and sudden slip change from the negative to 
positive directions as the temperature increased. The top flange was sheared off after 81 min 
of heating in the 1.2 mm through-deck welded specimen (T1H model). This failure mode 
indicated that the applied thermal and mechanical loads exceeded the capacity of the thermally 
degraded steel section. The slip direction change required less than 1 min in both the 
experimental and numerical observations because of the rapid reduction in the shear stud 
strength. Stud shearing failure was also observed in the 0.9 mm through-hole welded specimen 
(T2H model). As the applied load decreased, a longer fire resistance time was observed. Thus, 
the thermomechanical model developed in this study successfully illustrated the shear stud 
behaviour during a fire in terms of the failure mode and displacement variation.
(a) T1H model (1.2 mm through-deck welding) (b) T2H model (0.9 mm through-hole welding)
Fig. 11 Verification of the thermomechanical models
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5. Parametric study and discussion
5.1 Effect of temperature
The shear resistance was evaluated at different loads under the same heating condition as 
the ISO 834 standard fire. Table 4 presents the failure mode transition and linear relationship 
between the fire resistance time and shear resistance. The failure mode transition occurred 
between the 80% and 60% load ratio models (T1H models). The stud temperatures at fracture 
were 349 and 612  for the 80% and 60% load ratio models, respectively. Severe concrete ℃
damage was observed in the 80% load ratio model, whereas stud shearing was observed with 
relatively little concrete cracking when the load ratio of the shear resistance at ULS was less 
than 60%. As the fire exposure time increased, the shear connection was governed by the 
thermal degradation of the stud shearing area, which shifted to the bottom of the shear stud. 
The interlayer between the top side of the steel beam flange and bottom of the stud root area 
eventually peeled off when exposed to 74 min of the heating process (T1HR20 model), which 
was similarly observed in the experiment of T1H-1 specimen. An identical phenomenon was 
observed for the 0.9 mm through-hole welded models (T2H models). Severe concrete crushing 
and stud deformation were observed for the 80% load ratio model (T2HR80), and stud shearing 
occurred in the other high-temperature models.











[ ]℃ Failure mode
T1HR20 25.8 0.2 74.0 801 Stud shearing
T1HR40 51.6 0.4 51.1 680 Stud shearing
T1HR60 77.4 0.6 38.0 613 Stud shearing
T1HR80
1.2
103.2 0.8 17.6 349 Concrete failure
T2HR203 0.9 16.4 0.2 - - -
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T2HR40 32.8 0.4 75.2 735 Stud shearing
T2HR60 49.2 0.6 65.7 690 Stud shearing
T2HR80 65.6 0.8 45.9 606 Concrete failure
1shear strength at ULS are 129 kN and 82 kN for 1.2 mm and 0.9 mm deck models.
2temperature measured 5 mm away from the stud root.
3failure does not occur within 90 min of the heating process.
(a) T1H model (1.2 mm through-deck welding
)
(b) T2H model (0.9 mm through-hole welding
)
Fig. 12 Parametric studies with different load ratios
Fig. 13 illustrates the stress contours around the shear studs of the 1.2 mm through-deck 
welded model at the maximum negative slip. For the 20% load ratio model (T1HR20), the 
maximum stress formed around the weld collar in the initial stage of the heating process as in 
the ULS model. It changed around 40 mm apart from the bottom of the shear stud before 
fracture. This variation in the maximum stress location was due to the thermal degradation at 
the stud root area. In contrast, the maximum stress was created above the weld collar in the 
80% load ratio model (T1HR80), which showed a similar stress contour as the ULS model. 
This stress distribution induced a stronger moment at the concrete rib, which caused concrete 
cracking around the rib deck. The stress at the middle of the stud shank was greater than the 
stress at the weld collar in the less than the 60% load ratio models, which demonstrated stud 
shearing failure as expected.
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Fig. 13 Stress distributions of the shear stud at the maximum negative slip (T
1H model)
Fig. 14 compares the shear connection capacities of two different numerical models with 
Eurocode 4. The failure criterion of the stud shearing was plotted with and without the deck 
reduction factor: EC4(stud-solid) and EC4(stud-T2H). The concrete-dominated failure 
criterion followed the transverse deck calculation procedure of EC4-1-2 [15]: EC4(con-T1H) 
and EC4(con-T2H). The failure mode transition can be clearly observed with increasing 
temperature. The empty dot indicates the concrete-dominated failure, and the filled dot 
represents stud shearing failure. Although a sizable difference in shear resistance was observed 
at ULS with respect to the deck thickness, welding method, and concrete strength, the shear 
resistance at FLS showed a similar value accompanied by stud shearing failure. Because the 
deck reduction factor is included in the calculation procedure at ULS, EC4-1-2 [15] uses the 
same strength reduction parameter according to the temperature of the shear stud and 
surrounding concrete regardless of the slab type. The shear resistance can be underestimated at 
FLS because the strength reduction is only decided by an empirical constant and the thermal 
degradation of the steel and concrete materials. The stud shearing criterion of the solid slab 
specimen can be appropriate for the rib deck specimen at FLS as it gives a better estimation of 
the transverse deck specimen than using EC4-1-2 [15]. Therefore, the failure mode should be 
considered to optimise the estimation of the shear resistance during a fire.
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Fig. 14 Calculated shear resistance and design guidance of EC4-1-2 (2014)
5.2 Shear resistance prediction for concrete-dominated failure
Experimental investigations have been reported for the variation in the shear resistance with 
respect to temperature when headed shear studs are embedded in a transverse deck slab [12, 
13]. If these experimental results are compared with EC4-1-2 [15], Chen et al. [13] provided a 
conservative value, while Mirza et al.’s [12] estimate is not conservative. These experiments 
used different specimen sizes and temperature profiles. Mirza et al. [12] used a 400 mm × 400 
mm × 120 mm concrete slab with the ISO 834 heating process, which resulted in concrete-
dominated failure for all push-out tests. In contrast, Chen et al. [13] adopted a 450 mm × 680 
mm × 150 mm concrete slab with a 250 mm thick concrete slab base and used a slow heating 
process. They observed two different failure modes – concrete-dominated failure and stud 
shearing – as the stud temperature increased. These different failure modes were due to the 
different temperature distributions around the shear connections. This indicates that the shear 
resistance is decided by the relative temperatures of the shear stud and surrounding concrete 
during a fire.
A parametric study was carried out by varying the thermal conductance between the steel 
and concrete sections to investigate the effect of the temperature gradient around the shear 
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studs. Different temperature distributions were observed around the contact layers. The stud 
temperature rapidly increased while the surrounding concrete temperature slowly increased 
when a small thermal conductance value was used between the shear studs and surrounding 
concrete (FEM(T1H-No)). Similarly, perfect thermal conductance reduced the temperature 
difference of the shear stud and surrounding concrete (FEM(T1H-Per)). Fig. 15 shows different 
reduction rates for the shear resistance when the concrete-dominated failure occurred, whereas 
an analogous estimation was obtained when the cause of failure was the stud shearing. This is 
a possible reason for the different experimental results in the literature [12, 13]. Consequently, 
a standardised test method that includes the specimen configuration and heating condition is 
required for consistent experimental data.
EC4-1-2 [15] defines the concrete temperature as 40% of the flange temperature for 
calculating the shear resistance at FLS. The thermal reduction factor is multiplied with the 
compressive strength of concrete to obtain the shear resistance at ULS. However, this cannot 
successfully estimate the shear resistance reduction caused by the concrete-dominated failure 
in transverse deck applications, as depicted in Fig. 15. A sizable difference in the stud 
temperature was observed at the same load level of 80%. A new design formula for the 
concrete-dominated failure is proposed based on parametric studies and relevant literature that 
refers to the stud temperature. The maximum strength reduction was defined as 40% because 
the thermal degradation at the stud root area decides the load-bearing capacity below this value.
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Fig. 15 Comparisons of the shear resistances with different thermal conductances
The strength reduction is expressed as follows:
𝑆𝑅𝐹𝜃,𝑐𝑜𝑛𝑐𝑟𝑒𝑡𝑒 = 1 𝜃𝑠𝑡𝑢𝑑 ≤ 20℃
𝑆𝑅𝐹𝜃,𝑐𝑜𝑛𝑐𝑟𝑒𝑡𝑒 = 𝑎𝜃2 + 𝑏𝜃 + 𝑐 20℃ < 𝜃𝑠𝑡𝑢𝑑 ≤ 600℃
𝑆𝑅𝐹𝜃,𝑐𝑜𝑛𝑐𝑟𝑒𝑡𝑒 = 0.6 600℃ < 𝜃𝑠𝑡𝑢𝑑 ≤ 1000℃
(2)
where  is the strength reduction factor caused by the concrete-dominated failure 𝑆𝑅𝐹𝜃,𝑐𝑜𝑛𝑐𝑟𝑒𝑡𝑒
at elevated temperatures, ,  ,  and  is 𝑎 = 1.17 × 10 ‒ 6 𝑏 =‒ 1.39 × 10 ‒ 3 𝑐 = 1.012 𝜃𝑠𝑡𝑢𝑑
the stud temperature which is defined as 90% of the flange temperature.
5.3 Effect of trapezoidal deck thickness
Hanswille [35] reported an upper limit value for the deck reduction factor regarding the deck 
thickness for calculating the shear resistance in transverse deck applications. A statistical study 
revealed that the shear resistance increases with a thicker deck at ULS. A parametric study with 
different deck thicknesses (1.2 and 0.9 mm) was conducted using the through-deck welded 
model. Fig. 16 shows a noticeable gap in the shear resistance of the ULS and 80% load ratio 
models. A longer fire resistance time was observed for the 1.2 mm deck model than for the 0.9 
mm deck model at 102 kN. The concrete-dominated failure mode caused this considerable 
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difference because the thicker deck needed more stress for yielding to occur. In contrast, similar 
fire resistances were observed below 80 kN because the shear resistance was decided by the 
thermal degradation of the stud root area. Thus, the effect of the deck thickness on the shear 
resistance diminishes with increasing temperature.
Fig. 16 Parametric studies regarding the deck thickness with the through-deck 
welded model
5.4 Effect of stud welding method
Stark and Hove [36] reported that a through-hole welded stud has a lower shear connection 
capacity than a through-deck welded shear stud. The stud welding method affects the shear 
resistance at ULS because the concrete rib is crushed when the concrete-dominated failure 
occurs; the through-hole welded specimen showed greater concrete crushing. Based on this 
experimental study, EC4-1-1 [5] provides different reduction factors according to the stud 
welding method for transverse deck applications. The numerical model of the 0.9 mm through-
hole welded specimen (T2H) was modified to have a through-deck welded shear stud to 
investigate the effect of the welding method as temperature rises. The through-deck welded 
model (T2Hw) showed an increase of 20 kN at ULS, whereas the shear resistance reached 
similar value at FLS, as depicted in Fig. 17. The stud shearing criterion of the solid slab 
(EC4(solid-stud)) conservatively estimated the modelling result when the failure mode 
changed to stud shearing.
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Fig. 18 illustrates the damage contours of the through-deck welded (T1HR20) and through-
hole welded (T2HR40) models at a slip of 6 mm. Although greater deck deformation was 
observed for the through-deck welded model, the most severely damaged area was around the 
stud root regardless of the stud welding method. This implies that the effect of the stud welding 
method decreases as temperature rises.
Fig. 17 Parametric studies regarding the stud welding method with the through-
hole welded model
Fig. 18 Comparisons of the damage contours depending on the welding method
6. Conclusions
In this study, the performance of shear studs embedded in transverse decks was investigated 
experimentally and numerically for elevated temperatures. Nine push-out tests were conducted 
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with a customised electric furnace. A three-dimensional thermomechanical finite element 
model was developed and verified against push-out test results at both ULS and FLS.
The shear resistance decreased as the temperature increased, and the failure mode also 
changed from concrete pull-out to stud shearing failure. The bottom of the stud shank and top 
flange near the stud root sheared regardless of the deck thickness and welding method when 
the stud temperature exceeded 600 . EC4-1-2 [13] provided highly conservative estimations, ℃
especially for a through-hole welded specimen, which had a relatively small shear resistance 
at ULS because of the deck thickness and welding method. Omitting the deck reduction factor 
from the analytical calculation of EC4-1-2 [13] provided a better estimation for the transverse 
deck specimen when stud shearing failure occurred at FLS. Moreover, a new design formula 
for the concrete-dominated failure was proposed to reference the stud temperature. Both 
proposed design criteria can be adopted for composite beam design considering the failure 
mode transition in transverse deck applications.
The stress distribution of the shear stud showed the highest value around the stud root area 
at the beginning of the heating process. This location shifted to the stud shank as the 
temperature increased because of the thermal degradation of the steel material. The effects of 
the welding method and deck thickness decreased when the failure mode transition occurred 
because the thermal degradation around the stud root area became the dominant parameter in 
deciding the load-bearing capacity a fire.
These results provide a clear distinction for shear connection behaviour in terms of the shear 
resistance and failure mode both experimentally and numerically. It is expected that these 
observations will assist in the development of design criteria for the shear connection capacity 
embedded in transverse deck slabs for elevated temperatures. A further experimental 
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investigation will be needed around medium-to-low temperature region to verify the shear 
connection behaviour at the initial stage of fire.
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